As typically utilized in applications, a shape memory alloy (SMA) actuator operates under a large number of thermomechanical cycles, hence the importance of accounting for the cyclic behavior characteristics in modeling and numerical simulation of these actuators. To this end, the present work is focused on the characterization of the cyclic, evolutionary behavior of binary 55NiTi using a newly developed, multi-axial, material-modeling framework and its finite element analysis (FEA) implementation for use in the simulations of SMA actuators. In particular, two different geometric configurations of four-and two-coil helical springs subjected to axial end-forces are investigated under the effect of a large number of thermal cycles leading to the saturated deformation state of the coils. In addition, two different boundary conditions were examined, corresponding to: (a) the loading end cross section assumed to be free-to-twist, and (b) the loading end cross section assumed to be restrained against twist rotation. The study has led to the following five important conclusions: (i) the states of stresses and strains in the coils exhibited marked spatial non-homogeneities, both along the length as well as the cross section of the wires; (ii) the cyclic deformation response of the coils exhibits a similar evolutionary character to that of the 55NiTi material when tested under simple isobaric tensile stress conditions; (iii) the end boundary conditions affect the evolution of the deformation response; (iv) the magnitudes of the evolving nonlinear deformation states (i.e., axial displacements on the martensite and austenite sides, as well as the actuation displacement) were found to be proportional to the number of coils in an essentially linear manner, and (v) the change in coil diameter, while maintaining the pitch height, wire diameter and the number of coils fixed, has a significant effect on the response of the helical spring, both with regard to the resulting stress state and the evolutionary axial displacement behavior during the thermal cycles.
Introduction
In recent years, shape memory alloys (SMAs), with various chemical compositions (nickel-titanium, gold-cadmium, and copper-zinc-aluminum, etc) , have played an important role in various innovative engineering applications. In particular, these include such applications as antennae for cellular phones, various actuators in electrical and aerospace applications, energy absorption, and vibration damping devices. Their ability to act in such vastly different capacities is mainly due to their unique ability to recover large amounts of deformation produced by either applied stresses or temperature changes.
In applications, shape memory alloys are commonly utilized in two fundamentally different ways: (i) making use of the superelasticity/pseudoelasticity (SE/PE) phenomena (Nemat-Nasser and Guo 2006 , Wang et al 2005 , Zhu et al 2004 , as in applications in biomedical engineering, and (ii) taking advantages of the shape memory effect (SME) (Stebner et al 2009, Jones and Dye 2011) , as is used for actuators. The key to these unique SE/PE and SME properties is the solid-to-solid, diffusionless martensitic phase transformation between a high-symmetry austenite phase (A-parent) and low-symmetry martensite phase (M-daughter) under the effect of temperature and/or stress. In binary NiTi, this corresponds to a change in crystal structure from an ordered cubic (B2) austenite to a monoclinic (B19 ) martensite structure (Jones and Dye 2011 , Helm and Haupt 2003 , Wada and Liu 2008 .
Research involving SMAs can be grouped into three main areas: (a) experimental work, (b) constitutive modeling efforts, and (c) analytical/computational studies for boundary value problems involving structural components and/or SMA devices. From the standpoint of the experimental investigations conducted to date, much has been done to understand the deformation response of various forms, including wires, rods, and thin-walled tubes under conditions of both uniaxial and biaxial loadings within the pseudoelastic/pseudoplastic, as well as the shape memory effect regimes of various SMA material systems (Nemat-Nasser and Guo 2006, Adharapurapu et al 2006 , Jones and Dye 2011 , Kockar et al 2008 , Wang et al 2005 , Zhu et al 2004 . In addition, more recently the emphasis has been on the study of the evolutionary response of these SMA material systems under a variety of isothermal and non-isothermal load cycles (Kang et al 2009; Padula II et al 2011) . On the constitutive modeling side, significant research efforts have been made over the years to model the SMA behavior, utilizing micromechanical, equilibrium/statistical thermodynamic, as well as phenomenological approaches. A sampling of references in these different subareas is given in Gao et al (2011) , Hamilton et al (2004) , Matsuzaki and Naito (2004) , Ikeda (2008) , Manchiraju et al (2011) , Achenbach (1989) , Muller and Seelecke (2001) , Bo and Lagoudas (1999) , Lagoudas et al (2006) , Saleeb et al (2011) , Saleeb et al (2013) and Zaki and Moumni (2007) .
With regard to the analytical and computational studies of SMA boundary value problems alluded to in item (c) above, we refer to Mackerle (2003) for a number of typical applications involving different SMA structures. Most of these have used a three-dimensional phenomenological formulation without considering the thermomechanical coupling and considering the case of small deformations (Auricchio and Taylor 1997 , Peultier et al 2006 , Auricchio and Petrini 2004 , Saint-Sulpice et al 2012 , Qidwai and Lagoudas 2000 , Baghani et al 2012 . Few researchers have considered the analysis with large deformations (Roh et al 2006 , Hartl and Lagoudas 2009 , Hartl et al 2010 Hartl et al 2011; Pelton 1994 , Mirzaeifar et al 2011 , Lagoudas et al 2006 , as well as the effect of thermomechanical coupling (Peyroux et al 1998 , Abadie et al 2004 , Morin et al 2011 , Thiebaud et al 2007 , Christ and Reese 2009 etc) . A limited number of studies, as in McNaney et al (2003) and Wang et al (2006) , have also made an effort using a three-dimensional micromechanical formulation to perform the analysis of thin-walled tubes. In all the above mentioned applications, the emphasis was placed on the study of the basic phenomena of superelasticity or shape memory effect, but no considerations were given to the evolutionary response under a large number of thermomechanical cycles.
The current work focuses on assessing the evolutionary behavior of a 55NiTi helical spring actuator, belonging to item (c) above. Of course, this can only be achieved by combining a thorough understanding of the experimental response (item (a)) with the selection and formulation of an appropriate material model (item (b) ). This is particularly true since pre-training is difficult to accomplish in practice and it therefore becomes necessary to account for the details of the evolutionary response observed in the isobaric experimental work on 55NiTi (see Saleeb et al 2013) .
More specifically, the main goals of the present work are: (1) calibration of the evolutionary response of 55NiTi material under many thermal cycles, utilizing the recent phenomenological, multimechanism, modeling approach of Saleeb et al (2011; 2013) ; (2) implementation of the resulting calibrated model in the finite element analysis (FEA) program ABAQUS R for large scale simulations; (3) detailed investigations of the three-dimensional stress states and corresponding cyclic deformation behavior of axially loaded, two-and four-coil, SMA springs with different boundary conditions; and (4) a parametric study on the effect of changes in coil diameter on the evolutionary response of the spring.
Experimental observations
The material used for characterization is a binary NiTi alloy; designated as 55NiTi (55% Ni by weight in alloy) with at.% stoichiometry Ni 49.9 Ti 50.1 , and fully annealed ingot austenite start temperature (A s ) of 95 ± 5 • C. An austenite finish temperature (A f ) of 115 • C, as found from differential scanning calorimetry, was estimated under load-free conditions. The specimen used in the experiments was fabricated from 10 mm diameter rods of varying lengths in the hot-rolled/hot-drawn and hot-straightened condition.
Nomenclature for the control and response variables in the experiments
In order to facilitate the presentation and discussion of results regarding the cyclic behavior of the material response, we present some definitions for a single thermal cycle, i.e. strain versus temperature response in a typical isobaric tensile experiment, as shown in figure 1. In this test, the specimen is loaded to achieve a certain tensile load level (hence producing a given constant tensile engineering stress). Subsequently, with the engineering stress held constant, a number of thermal cycles are performed between fixed values of lower-and upper-cycle temperatures (LCT and UCT, respectively).
In the following, the constant engineering stress and corresponding absolute true (logarithmic) strain response will be represented by symbols σ and ε, respectively (calculated as in the expressions given in figure 1 ). As typically denoted in the literature, we define the following set of characteristic transformation temperatures under stress-free conditions, i.e. the martensite start (M s ), martensite finish (M f ), austenite start (A s ) and austenite finish (A f ).
Regarding the observed conjugate strain response during thermal cycling, we utilize ε M and ε A to denote the measured strain values specific to the two extremes of the temperature range, i.e the lower-cycle temperature (LCT, martensite side) and upper-cycle temperature (UCT, austenite side), respectively. Furthermore, we let ε ACT represent the actuation strain, calculated as the difference between ε M and the succeeding ε A for a particular heating branch during any of the thermal cycles. Note that the significance of this ε ACT lies in its usefulness as a measure of the actuation capabilities of the SMA system and can be used to roughly determine the amount of work a material can perform under a given condition. Similarly, we utilize ε OLS to represent the open-loop strain at the LCT (martensite side), also commonly referred to as irreversible strain. This is mathematically defined as the difference between the two consecutive ε M strain readings, i.e. ε M , where N denotes the thermal cycle number, and gives a measure of the dimensional stability of the system in actuation applications . In all the subsequent figures, SI units are used for engineering stress, σ , in MPa, absolute true (logarithmic) strain, ε in percentage (%), and temperature in Celsius ( • C).
Observations under cyclic thermal loading
To best demonstrate the evolutionary character of the 55NiTi material response, a specific isobaric test case of constant tensile stress of 80 MPa with 100 thermal cycles, together with all its details, is described here (see figure 2) . To this end, various stages of the evolution will be discussed in terms of the nature of the evolutions with continued thermal cycles, during which the material progresses from the initial transient response, moves into a more regulated strain evolution, and finally approaches a stabilized state.
As can be seen in figure 2(b), there is a significant change in strain ε M due to the transient that occurs during the first thermal cycle. Subsequent to this transient, the magnitude of open-loop strain (see figure 2(e)) is diminished but remains significant in the early part of evolution (cycles 2-20 in figures 2(a) and (b)) in comparison to cycles in the intermediate range of evolution (cycles 20-50 in figures 2(a) and (b)). Finally, as evident in the test measurements depicted in figures 2(c)-(e) the strain evolution continues with an ever-diminishing rate, signaling an approach to a saturated state towards the end of the test (cycles 50-100 in figures 2(c) and (d). Such behavior is not only typical to SMA systems, but is the fundamental basis of the training procedure.
3. Summary of the calibrated 55NiTi model 3.1. Brief review of the 3D, multimechanism-based, viscoelastoplastic, SMA model As originally formulated, the SMA model developed by Saleeb et al (2011) has targeted the modeling of both ordinary and high-temperature SMA material. However, in the present application to 55NiTi, all high-temperature effects are discarded. In particular, it is assumed that the SMA material has a weakly rate-dependent response, with no viscous effects, and no recovery terms in the evolution of the inelastic, hardening, state variables. Furthermore, the inelastic response is assumed to be purely deviatoric and the material is taken to be initially isotropic.
A Cartesian frame of reference is utilized in the derivation of the constitutive equations, along with indicial notation. In the generalized 3D space, the total strain tensor is decomposed into elastic and inelastic parts. The strain tensor, ε ij (and its rateε ij ) is decomposed into reversible (elastic) and irreversible (inelastic) components, ε e ij and ε I ij , respectively. In particular, the tensor ε I ij is utilized here to implicitly account for all transformation-induced deformations. The stress tensor, σ ij , is decomposed into an effective stress, (σ ij −α ij ), and an internal state tensorial variable, α ij = There are two fundamental energy potentials, i.e., a Gibb's complementary function,
, where the subscripts R and IR indicate reversible and irreversible(inelastic) components. Note that the parentheses utilized in and above signify functional dependency in terms of the tensorial 
Equation set 2: specific functional forms for stored energy and dissipation potentials
where κ, µ, and n are material constants, F is the transformation function andH (b) are hardening functions (see table 2 ). E ijkl is the isotropic fourth-order tensor of elastic moduli (Young's Modulus E and Poisson's ratio ν). Table 2 . Summary of transformation and hardening functions used in the multimechanism SMA material model.
Equation set 4: transformation and hardening functions
where
(b) ; where θ and θ (b) are Lode's angle calculated from the invariants of the stress σ ij and the internal stress of the bth mechanism, α (b) ij (Chen and Saleeb 1994) . h(L) = the Heaviside function with the argument being the loading index L = α (b) ij ij ; where ij = ∂F/∂(σ ij − α ij ). (b) , and κ (b) = Material parameters for the individual hardening mechanism. c, d; c (b) , d (b) = Material parameters for tension/compression asymmetry (Saleeb et al 2011). arguments inside these parentheses. Following the procedure detailed in Saleeb et al (2011) , the resulting final equations in the model are derived, and these are summarized in table 1 (basic equations) and 2 (transformations and hardening functions).
It is noteworthy that there are thirty-seven material parameters in the general forms given in tables 1 and 2. Among these, there are fourteen (c, d in transformation function, and c (b) , d (b) for each of b = 1, 2, . . . , 6) used for the detailed evolutions under different loading modes, such as tension, compression, or shear. However, for the present calibration and characterization of 55NiTi, all the data available are collected under tensile loading only (see section 2.2). Therefore, these last fourteen material parameters dealing with intrinsic tension/compression asymmetry will not be active here (note, however, that large deformation effects will produce asymmetry in tension and compression, see figure 3(f) in section 3.2). Furthermore, the elastic modulus, E, and Poisson's ratio, ν, are assumed based on typical data available in the literature for NiTi-based SMA system (see table 3 ). In addition, because of the assumed weak rate dependency of the SMA response, we have elected to use a 'large' value for 'n' and relatively 'small value' for 'µ' to achieve this, as recommended in Saleeb et al (2011) , (see table 3 ). This leaves a total of twenty-one remaining constants that need to be determined from the calibration procedure described in the following section.
Finally, a remark is in order here regarding the use of the above model in the context of large deformation. To this end, all the tensorial quantities (stress, strains, inelastic strains, internal state variables, etc) are simply formulated in the rotated configuration; e.g. for the Cauchy stress tensor, one has R mi σ mn R nj , where R ij is the rigid-rotation tensor obtained from the polar decomposition F ij = R im U mj , where F ij is the deformation gradient tensor, and U mj is the right stretch tensor (Saleeb et al 1990) . 
Model calibration and characterization
Ideally, the calibration procedure of a comprehensive material model with an extensive amount of test data should be automated using sophisticated optimization techniques (e.g. see Saleeb et al 2001 for applications to conventional metallic materials). However, such an automated characterization procedure is not currently available for the present multimechanism SMA model. Instead, we have introduced a number of simplifying assumptions in order to facilitate the major effort involved in the manual characterization procedure utilized here. This is particularly important for a complex SMA material such as 55NiTi, which is known to be a high evolver and notorious for the stress state dependency of its thermomechanical response.
Until more detailed information can be obtained, we have reduced the temperature-and stress state dependency to 
Viscoplastic mechanisms
Number of viscoplastic mechanisms -6 κ = κ 
2 20 20 20 For b = 4 only:
• C For the others: Table 5 . Stress dependency of the non-dimensional factors η and η (b) . Values are linearly interpolated between the shown stress levels. include only seven key threshold values (among the available total of twenty-one material parameters). These are the values κ in the transformation function, and κ (b) for mechanisms b = 1-6 in the evolution equations of the internal state variables. Furthermore, we have assumed a multiplicatively decoupled form for the temperature-and stress state dependency, i.e. 
, where T is the temperature and the multi-axial stress intensity is defined as σ e = 3 σ ij M ijkl σ kl /2. In this, κ (r) and κ (r) (b) are reference thresholds (all in stress units) that are a function of temperature only, and η (or η (b) ) is a non-dimensional factor that is dependent on the stress intensity only.
For the purpose of determining the temperature variation of these aforementioned variables, together with the specific numerical values of the remaining parameters H (b) and β (b) , results from a single isobaric experiment conducted at 100 MPa for 100 thermal cycles between a LCT = 30 • C and UCT = 165 • C were utilized for calibration. The outcome of this calibration exercise (for details, see Saleeb et al 2013) has led to the numerical values of the model parameters listed in tables 3-5. Once the model was calibrated, an isobaric test case involving a virgin specimen undergoing 100 thermal cycles between an LCT of 30 • C and a UCT of 165 • C under constant tensile engineering stresses of 80 MPa was simulated. The obtained results are plotted in comparison to the respective experimental response in figure 3. Qualitatively and quantitatively, it is noted that the model was able to predict the overall evolution of strains reasonably well.
In addition to the results obtained above for the tensile isobaric test, a compressive isobaric test under the same magnitude of the bias stress was also simulated by the multimechanism SMA model. The comparison of the tensile versus compressive response during one and half thermal cycle is shown in figure 3(f) . It is clear that the response shows significant asymmetry, especially at the end of the first cooling branch of the thermal cycle. table 6 for details of the geometry parameters, here P = pitch height, i.e., height of one helix and D m = mean coil diameter = external coil diameter 'D o ' minus wire diameter 'd'). In all simulations presented here, and for the purpose of providing a mechanism to conveniently impose support conditions, and to apply axial loads aligned with the axis of the coils, we utilized two 'end Figure 8 . Distribution of effective stress in SMA coils at the end of load up and at the start of iso-force thermal cycle for the four-coil actuator in the free-to-twist loading case. Note the significant non-uniformity/inhomogeneity in different parts of the coils, and especially over the cross section of the wire.
hook' attachments, as shown in figure 4. These are taken here to be with the same wire diameter (d) in their circular cross section, and they are made of relatively stiff, non-SMA, elastic material.
In the majority of the simulations, the case of four coils is utilized to study the details of the evolutionary behavior of the actuator under repeated thermal cycles under the applied axial load and two different cases of end boundary conditions, discussed later in this section. However, simulation involving two coils will also be presented for comparison and to demonstrate the effect of extended thermal cycles.
For the purpose of finite element discretization, we used the ABAQUS R standard program (ABAQUS 2012), in which the SMA multimechanism model described in section 3 above was implemented through a UMAT routine. The detailed geometry of the complete model (including coils and end attachments) was generated in SOLIDWORKS R (ABAQUS 2012) and exported to ABAQUS R . Two different cases were used, involving two-and four-coil SMA springs, and in each case an additional non-SMA part was created at the upper and lower ends to provide hook attachments that will enable the application of the loads and boundary conditions at the ends. For all cases analyzed, all nodes on the top section of the upper hook attachment were totally fixed against three translations. For convenience in reporting the response histories for both the primary axial deformation mode as well as the secondary twist mode, a rigid-body tie constraint was utilized. This connects a reference point (point 'o' in figures 5 and 6) on the axis of the coil at the center of the bottom section of the lower hook attachment to the remaining nodes on that bottom Figure 9 . Distribution of the components of the stress state in SMA coils at the end of load up and at the start of iso-force thermal cycling for the four-coil actuator in the free-to-twist loading case, clearly demonstrating the genuine three-dimensionality of the state. section, thus enabling the displacements, twist angle, and/or reaction forces and moments at the reference point for the different cases of loading investigated.
In this study, two different mechanical load-control schemes were utilized, i.e., Case-1 involving the application of a uniform surface traction providing a total axial force of 3.373 N on the bottom section, while simultaneously leaving that end section totally free in translations and rotations; and Case-2 in which the same axial force was applied but now with all the nodes on the bottom section constrained against the two translations in the directions of the Y-and Z-axes (thus ensuring that the bottom section is restrained against twist rotation). Henceforth, for convenience, Case-1 and Case-2 will be referred to simply as the free-to-twist and twist-restrained cases, respectively. Note that the magnitude of the applied axial load represents the first load-up phase at room temperature (30 • C) and this load was kept constant during all subsequent thermal cycles. Note also that the magnitude of the force (3.373 N) was selected to produce an average value of approximately 50 MPa for the distribution of effective stresses ( 3s ij s ij /2, where s ij is the stress deviator tensor) in the SMA coils. This provides a comparable isobaric stress level as was utilized in the experiment used for characterization/calibration in section 3 above.
Furthermore, all the thermal cycling was done between the room temperature of 30 • C (LCT, lower-cycle temperature) and 165 • C (UCT, upper-cycle temperature). For the two-coil model, 50 thermal cycles were conducted, whereas 25 cycles were performed for the four-coil case. Figure 7 depicts the details of the mechanical/thermal load controls for the first four thermal cycles.
Finally, a mesh convergence study was conducted to determine the suitable mesh density to be used in the following analyses. For this purpose, two different meshes were considered for the case of the two-coil spring under the conditions of Case-1 loading described above. The first is a coarse mesh containing a total of 1368 C3D20R (quadratic, 20-noded, three-dimensional, brick elements) elements distributed as follows: 2 (no. of coils) × 12 (in SMA wire cross section) × 40 (along the length of one SMA coil) = 2 (no. of coils) × 480 (total no. of elements per single SMA coil) = 960 elements for the SMA parts plus 2 (hooks at each ends) × 12 (in non-SMA wire cross section) × 17 (along the length of one hook) = 408 elements for the non-SMA hook attachment parts. On the other hand, the second, more refined mesh contain a total of 10944 C3D20R elements, where 48 and 80 element divisions were used over the SMA wire cross section and along the length of each coil, respectively, together with a 48 (over cross section) × 34 (along length) element mesh for each of the hook attachments. Comparisons of the results of the two meshes (both for the axial displacement at the free end as well as the effective stress distribution over the wire cross section) indicated essentially identical results, thus confirming the convergence of the coarse mesh utilized here. Therefore, in all subsequent results, the coarse mesh pattern was utilized (see figures 5 and 6), i.e., 480 elements per each SMA coil and 204 elements per each hook attachment.
Evolutionary response of the four-coil actuator
In the following two subsections, the response of the four-coil actuator will be assessed. In particular, emphasis will be placed on the evolutionary character of the primary and secondary responses (i.e., the evolution of displacements, twist angle, and/or the reaction forces) obtained in the different loading cases during thermal cycling.
4.2.1. The free-to-twist loading case. For convenience in the description of the different aspects of the four-coil actuator response, separate discussions are given below for: (a) the state of stress, (b) the state of deformation, as well as (c) the cyclic evolution of the displacements/twist angle/reaction forces at the reference end point of the coils.
A significant spatial variation in the effective stress distribution (i.e., stress state 'intensity') can be clearly observed in figure 8 . In this case, the results indicate values of effective stresses ranging from 3 to 68 MPa (with an average of a 'low' value of nearly 35 MPa) on the wire cross section, and ranging from 47 to 68 MPa along the length of the coils. This variation is even more evident in figure 9 , which depicts the distribution of each of the six individual stress components (three normal and three shear stresses). In addition to this spatial variability, the true three-dimensional nature of the state of stress is clearly seen in this same figure 9. Note that all six stress components are significant in their magnitudes, with different regions along the length and sections of the coils having different signs for these components.
Considering next the deformation states, the evolution of the helical actuator deformation at different stages (i.e., at the end of load up versus during thermal cycling) is depicted in figure 10 . From the figure, it is apparent that thermal cycling produces a significantly greater 'axial' deformation of the coils compared to that observed during the isothermal mechanical loading stage. Note also that the magnitude of the useful displacement stroke (actuation output) after 25 thermal cycles is quite significant relative to the original 'height' of the undeformed, four-coil spring.
Finally, figures 11 and 13 give the details of the evolutionary response of the (primary) axial displacement δ, as well as the (secondary) twist angle θ (rotation about the axis of helix 'x' in figure 10), during the thermal cycles, respectively. Furthermore, figure 12 gives a summary plot for the individual accumulated axial displacements, with cycles, at the martensite (30 • C) state, δ M , and austenite (165 • C) state, δ A , and the actuation displacement/stroke, δ ACT .
It is interesting to observe the very neat and logical correspondence in the evolutionary character of the 'global' axial displacement results in this section (see figure 11(b) for δ versus temperature plot and figure 12(a) for δ M and δ A versus cycles) and their 'material-point' counterparts depicted in section 3.2 (figures 3(b) and (c)). On the other hand, there is naturally a change in the way by which the actuation stroke will evolve in the global structure (helical coils) compared to the simpler state of the material-point case, i.e., the significant Figure 11 . The evolution of the primary deformation response for the four-coil actuator in the free-to-twist loading case: (a) axial displacement versus time, and (b) cyclic, axial displacement versus temperature. Figure 12 . A summary of the evolution of the primary deformation response for the four-coil actuator in the free-to-twist loading case: (a) axial displacements at the martensite and austenite states, and (b) actuation displacement 'stroke'. change in pitch angle during deformation resulting in a change of the relative amounts of torque versus bending moment felt by the wire cross section (Cook and Young 1985) . This in turn results in a difference in the observed actuation response, as can be seen by comparing figure 12(b) (for δ ACT ) and its counterpart figure 3(d) (for ε ACT ).
Note also that there is a secondary response (i.e., angle of twist, θ , at reference point 'O') observed in the helical-coil structure which is not observed in the material-point response in section 3.2. In particular, referring to figure 13, the angle of twist increased significantly, reaching magnitudes of approximately −31 and 9 • , at the martensite and austenite sides, respectively, by the end of the 25th thermal cycle. It will be of great value if future experiments on SMA coils can document the results of such secondary responses.
The twist-restrained loading case.
Here, the evolution of the helical actuator deformed configuration at different stages of loading (i.e., at the end of load up versus during thermal cycling) is depicted in figure 14 . In addition, figures 15-17 give the details of the evolutionary response of the (primary) displacement, as well as the (secondary) reaction torque, during the thermal cycles, respectively.
In contrast to the free-to-twist case of the above section 4.2.1, the present twist-restrained condition had a lower overall axial displacement during the 25 cycle evolution (e.g. compare the values 62 mm and 68 mm for δ M at the end of 25th thermal cycle in figures 16 and 12, respectively). This result is not surprising, given that the restraint from the boundary condition inhibits the unwinding of the helical coil, thereby lessening the extension. However, the magnitude of the reduction was somewhat less than typically anticipated, and this is most likely the result of the 'low' axial loads (3.373 N) applied to the coil.
As can be seen from figure 13 , the free-to-twist case developed a magnitude of twist rotation that did not exceed 40 • over the length of the entire coil. Hence, once the geometry was constrained from rotating, the torque that was developed due to the constraint remained relatively 'low', reaching a maximum of 8 N mm, during thermal cycling (see figure 17) . Overall, it is therefore concluded that the magnitude of the secondary response in the present case does not have a significant influence on the primary response for the cases investigated here.
Evolutionary response of the two-coil actuator
In this section, a number of supplementary simulations for the free-to-twist loading case for a two-coil actuator will be conducted to provide further insight into the evolutionary response of coil springs in connection with the following two important aspects: On the other hand, considering the comparison of the primary axial extension in the deformed configurations, one can clearly conclude that the amount of extension in the four-coil case is nearly double that of its two-coil counterpart (compare the deformed configuration to the undeformed configuration in each of the two figures 10 and 20, noting that all configurations in each of these figures are plotted to the same true scale with no magnification). This is further confirmed by the detailed numerical comparisons of the axial extension evolutionary response of the two-coil case in figures 21(a) and (b) (for the first 25 cycles shown in blue) to its counterpart figures 11(a) and (b) in the four-coil case. In particular, one can notice that the axial extension of magnitude of 32.5 mm reached at the end of the 25th thermal cycle is approximately half of its counterpart value of 68 mm obtained in the four-coil case. A similar comparison can also be made for the magnitude of the actuation displacement in figures 12 and 22, where values of δ ACT = 11.6 mm and 23 mm were obtained at the end of the 25th thermal cycle for the two-and four-coil cases, respectively. The practical significance of this Figure 18 . Distribution of effective stress in SMA coils at the end of load up and at the start of iso-force thermal cycle for the two-coil actuator in the free-to-twist loading case. Note the significant non-uniformity/inhomogeneity in different parts of the coils, and especially over the cross section of the wire.
observed 'near-linear' proportionality of the primary response (axial extension) in terms of the number of coils in the helical spring can be demonstrated as follows. For a given helical actuator having 'n' coils, one can simplify the numerical simulation by considering a single-coil analysis resulting in a final axial extension of magnitude 'δ' (i.e., either of δ M , δ A , or δ ACT ), and a good estimate for the final axial extension in the original actuator would be subsequently calculated as 'n' times 'δ'. In contrast to the above observation regarding the primary response, the comparison between figures 13 and 23 for the angle of twist response indicates a significant difference in the behavior of the two different cases of four and two coils. This difference appears in both the pattern of evolution as well as the magnitudes of the accumulated twist angles.
Finally, the results obtained after an additional 25 thermal cycles (i.e., total of 50 cycles) for the present two-coil case are depicted in figures 21-23. Note that the additional cycles are shown in red in figures 21 and 23 for primary (axial extension) and secondary (angle of twist) response evolution, respectively, and in extended dashed lines in figure 22 . As clearly evident from these figures, the cyclic behavior has approached its saturation state by the end of the additional 25 thermal cycles.
A parametric study on the effect of the change in coil diameter
In this brief section, a parametric study is conducted to investigate the effect of a change in spring coil diameter on the evolutionary response of the coil spring. To this end, the particular configuration of a two-coil spring is considered, under the same loading (both mechanical and thermal) and boundary conditions as Case-1 (as discussed in section 4.1). Compared to the original geometry of the helical spring considered in sections 4.1-4.3 (labeled here as the base spring 'B'), i.e., with the mean coil diameter, D m = 12.7 mm, spring index (I = D m /d) of 8.47 and initial pitch angle (α = P/π D m ) of 4.014 • (where P = pitch height = 2.8 mm) and wire diameter 'd' of 1.5 mm, two additional springs 'A' and 'C' are also simulated. For all of the three springs, the same common values for wire diameter and pitch height are used, whereas the mean coil diameter, D m , for springs A and C are taken to be 9.525 mm and 15.875 mm, respectively (corresponding to a 25% decrease and increase, respectively, in the mean coil diameter relative to the base case of spring B). Refer to table 7 for the geometric details of springs A, B and C. Note that, with increasing coil diameter, the spring index increases, whereas the pitch angle decreases.
For the present parametric study, only ten thermal cycles were performed, subsequent to the load-up stage. The results from the parametric study are summarized in figure 24 and table 7. The following important points can be concluded. (iv) Spring A, with the highest value of the initial pitch angle, reached the saturated response sooner than the other two springs, B and C.
Summary and conclusion
The main focus in the presented work has been placed on the numerical simulation of the cyclic behavior of SMA helical spring actuators. To this end, a recently developed, three-dimensional, modeling framework using the notion of multimechanisms for the inelastic SMA response (Saleeb et al 2011) has been utilized to calibrate a binary NiTi alloy; designated as 55NiTi (55% Ni by weight in alloy). This particular SMA alloy has an intermediate transformation temperature range, with A f = 115 • C at no load. The calibrated material model was subsequently implemented using a UMAT routine in the finite element commercial code ABAQUS R (ABAQUS 2012). In the numerical simulations, two different geometric configurations of four-and two-coil helical spring actuators subjected to axial end-forces are investigated under the effect of large numbers of thermal cycles leading to the saturated/stabilized deformation state of the coils. In addition, two different boundary conditions corresponding to: (a) the loading end cross section being free-to-twist, and (b) the loading end cross section being restrained against twist rotation. In both of these cases, the effect of large deformation was accounted for.
Against the background of the result presented here, the following important conclusions can be made:
(i) The states of stresses and strains in the coils exhibited marked spatial non-homogeneities, both along the length as well as over the cross section of the wires. (ii) The primary cyclic deformation response of the coils exhibits a similar evolutionary character to that observed experimentally in the 55NiTi material when tested under simple isobaric tensile stress conditions. (iii) The end boundary conditions affect the evolution of the deformation response. In particular, the twist-restrained boundary condition led to less evolution in the primary response compared to the free-to-twist condition. (iv) The magnitudes of the evolving nonlinear deformation states for the primary response, i.e. axial extensions on the martensite and the austenite sides, as well as the actuation stroke, were found to be proportional to the number of coils in an essentially linear manner. (v) In contrast to item (iv) above, the comparison for the secondary response, i.e., the angle of twist, indicates that there are significant differences between the two-and four-coil cases, in both the pattern of evolution as well as the magnitudes of the twist angle. (vi) From the parametric study, it is concluded that a change in coil diameter (while maintaining the pitch height, wire diameter and the number of coils fixed) leads to a significant difference in the produced stress state at the end of the load-up stage, as well as the cyclic, evolutionary response of the spring during thermal cycles.
